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Probabilistic risk assessment has increasingly been adopted by certification agencies to address the inherent

uncertainties in fatigue crack nucleation and growth processes. Fretting fatigue is a significant damage source for

aircraft gas turbine engine components. When present, it can reduce component lives by 40 to 60 percent or more.

Surface treatments introduce compressive residual stresses that have the potential to substantially increase

component lifetimes. In this paper, an approach is presented for estimating the fretting fatigue risk reduction

associated with surface treatment of an actual military engine disk under real-life loading conditions. Residual

stresses associated with surface treatment are based on values reported in the literature. A probabilistic model of the

fretting process is calibrated based on available failure data and used to quantify the influence of surface treatment

on the probability of fracture.

Nomenclature

a = crack depth
C = empirical constant for the power-law region of

the NASGRO equation
c = half surface crack length
d = decay distance in the residual stress profile
E = Young’s modulus
Fblade = radial force of the blade acting on the disk slot
f = ratio of Kop=Kmax

g�X;Y; N� = failure limit state
K = stress intensity factor
K�X;Y; N� = stress intensity factor
Kc = fracture toughness
Kmax = maximum stress intensity factor value
Kop = stress intensity factor at which the crack tip is

fully open
M = contact moment per unit thickness
N = number of flight cycles
n = empirical constant for the power-law region of

the NASGRO equation
P = normal contact force per unit thickness
p = empirical constant describing the large-crack

threshold region of the NASGRO equation

p�x� = contact pressure traction
Q = shear contact force per unit thickness
q = fast fracture region of the NASGRO equation
q�x� = contact shear traction
S = bulk stress
t = thickness of disk slice
X = vector of input variables unrelated to inspections
x0 = center of contact
Y = vector of input variables related to inspections
� = slope of shear force versus normal force in partial

slip
�� � = gamma function
�Kth = large-crack growth threshold
� = flank angle of the dovetail
� = coefficient of friction
� = Poisson’s ratio
�c = compressive stress component in the residual

stress profile
�ij = components of stress
�t = and tensile stress component in the residual

stress profile
�xx = crack opening stress
� = fan rotor speed

I. Introduction

FATIGUE crack nucleation and growth of metals is dependent on
a number of variables that are inherently random in nature.

Probabilistic risk assessment has therefore been increasingly adopted
by government certification agencies to supplement the traditional
safe-life approach that is commonly used for assessment of high-
energy rotating components in aircraft gas turbine engines. For
example, the U.S. Federal Aviation Administration has released
several advisory documents [1,2] over the past several years that
recommend the use of probabilistic methods for risk assessment of
aircraft engine components. The fatigue crack growth process is
commonly modeled using random variables related to the size and
location of the initial crack, variability associated with applied stress
and crack growth life models, and uncertainty in the quality and
frequency of nondeterministic inspections [3]. Probabilistic models
are well established for the nucleation or initiation phase and
typically focus on adjustment of stress-life models [4–6] and
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assignment of random variables to the regression coefficients
associated with failure data [7,8].

Fatigue cracks can also be initiated by fretting, a process that
occurs when two components are placed in contact and subjected to
cyclic loads of relatively small (i.e., less than about 100 �m)
displacement [9,10]. Fretting fatigue has been identified as one of the
costliest sources of in-service damage related to high-cycle fatigue in
the U.S. Air Force [11]. Component lifetimes can be reduced by as
much as 40–60% or more depending on the severity of the loading
[4,12]. The stresses associated with fretting also influence the crack
growth phase, severely reducing component lifetimes [9,13–16]. In
fact, a review of experimental observations suggests that fretting
fatigue is dominated by the fatigue crack growth phase [17], in which
the crack initiation life is often shorter than the crack propagation life.
Stress values in the contact region often have the most influence on
small cracks forwhich traditional long-crack fracturemechanicsmay
not apply. Small-crack fretting models have recently emerged to
address this issue [18–20].

Surface treatments introduce compressive residual stresses that
have the potential to substantially improve the lifetimes of compo-
nents subjected to fatigue [21–23]. For example, the compressive
residual stresses induced by shot peening (SP) have been shown to
increase fatigue life by delaying crack initiation or crack propagation
[21,22,24,25]. Unfortunately, the surface roughness and damage
introduced by SP can promote fatigue crack initiation at shot-peened
surfaces, leading to lower fatigue life under certain conditions
[26,27]. In recent studies, advanced techniques such as laser shock
peening (LSP) and low-plasticity burnishing (LPB) have been shown
[21,23] to produce deep-penetrating compressive stresses without
producing undesirable surface damage [24,25]. As in SP, the
compressive residual stresses introduced byLPBor LSPmay relax to
lower magnitudes after thermal exposure to higher temperatures or
fatigue cycling [21,23]. Thus, there is a need to assess the
effectiveness of compressive residual stresses in mitigating fretting
fatigue in an engine environment.

In this paper, an approach is presented for estimating the risk
reduction associated with surface treatment of aircraft engine com-
ponents subjected to fretting fatigue. The approach is illustrated for
an actual military engine disk under real life loading conditions.
Stresses in the blade–disk contact region are estimated using a fine
mesh finite element model coupled with a singular integral equation
(SIE) solver. Residual stresses associated with surface treatment are
based on values reported in the literature [21]. These values are
superimposed on the bulk stress values and applied to the
computation of the local stress intensity factor range, the local stress
ratio, and the corresponding crack propagation rate for a mode I
fretting fatigue crack. A probabilistic model of the fretting process is
formulated and calibrated using available failure data from an
existing engine fleet. The resulting calibrated model is used to
quantify the influence of surface treatment on the probability of
fracture of military engine disks subjected to fretting fatigue.

II. Contact Stress Modeling

The loads and associated stresses in the blade–disk region of an
engine disk can be estimated using nonlinear contact analysis.
Calcaterra and Naboulsi [28] investigated contact damage in blade
and disk attachments from the compressor stage of two similar
military engines. They concluded that afinite elementmethod (FEM)
analysis was not sufficient to predict the stresses at the edge of
contact. Instead, they implemented a hybrid process in which both
FEM and the SIE solution tool CAPRI were applied. Golden and
Calcaterra [29] showed that fracture mechanics methods using the
contact stress analysis can be used to predict the lives of dovetail
fretting fatigue specimens. That analysis, however, was not applied
to real components, and was confined to constant amplitude loading.
Gean and Farris [30] demonstrated amethod to predict contact forces
for a prescribed engine speed and thermal mission. This type of
methodology is necessary for practical assessment complexmissions
when using FEM component contact analyses.

The normal contact force per unit thickness P associated with
fretting can be obtained by integration of the pressure p�x� in the
contact region over the contact length x:

P�
Z
p�x� dx (1)

Prior work has shown that contact forces can be accurately
predicted even with fairly coarse meshes [28]. Likewise, the shear
traction, q�x�, can be integrated over the contact length to obtain the
shear contact force per unit thickness, Q:

Q�
Z
q�x� dx (2)

The contact moment per unit thickness M about the center of
contact is equal to the integral of the product of the contact pressurep
and the distance from the center of contact, x0:

M�
Z
�x � x0�p�x� dx (3)

The vector relationship among the contact forces P, Q and
moment M is described in [30]. The scalar relationship among
contact forces P and Q is illustrated in Fig. 1 for a typical fan speed
profile. In Fig. 1, the dashed lines indicate the bounds imposed by the
coefficient of friction �. When Q� �P, the contact is called
“sliding” or “gross slip.”When jQj<�P the contact is referred to as
“partial slip.”The slope� of theQversusP curveduring partial slip is
a characteristic of the component. This slope is used to predict more
complex histories of Q and P as described later in the paper.

Contact stresses can be obtained directly from the contact forces
and moments using the numerical solution of the SIE that
characterizes the contact interface using the CAPRI software [31] or
the worst case fret (WCF) model [32]. The CAPRI SIE solver was
developed to calculate contact stresses for a random shaped indenter
pressing into a flat plate with a shear force applied using a Fourier
transform technique [31].

The WCF model [32] was developed to treat the propagation and
arrest of small cracks under the influence of the fretting stress field in
the presence of a remotely applied bulk stress. The WCF model
considers a flat pad subjected to a normal loadP, a shear forceQ, and
bulk stress S (see [32] for more details regarding the model). The
contact stress field for the flat pad can be obtained for a given set ofP
and Q values.

The distributions of normal traction,p�x�, and shear traction,q�x�,
on the fretting surfaces arefirst computed using the singular-integral-
equations formulation by Ciavarella et al. [33]. Series expansions are
then performed for p�x� and q�x� in terms of Chebyshev’s
polynomials, which are then used to obtain the Mushkelishivili
potential. Subsequently, the interior stress field (i.e., the stress in the
interior of the component associated with contact forces) is evaluated
from Mushkelishivili’s potential using standard equations to obtain
the fretting fatigue stresses. The results are added to the bulk stress to
obtain the total stresses. The total stresses are then used to compute

Q

P

-Q

Slide In

Slide Out

Increase
Speed

Decrease
Speed

Fig. 1 Illustration of the relationship among contact forces P and Q in

the disk–blade interface of a typical gas turbine engine.
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the stress intensity factors and fatigue crack growth rate response.
Details of the governing equations and the computational procedures
were reported in an earlier paper [32].

III. Residual Stress Model

The residual stress profile in the attachment region of an engine
disk depends heavily on the processing method and parameters. At
least three processing methods including SP, LSP, and LPB have
been considered for imparting residual stresses in engine disks [21].
A comparison of the residual stress profiles produced by SP, LSP, and
LPB [21] is shown in Fig. 2, which shows that differences exist in the
level and the extent of the compressive stresses in the residual stress
zone.

The residual stress profile is typically described using empirical
expressions fitted to experimental data obtained by x-ray diffraction
methods [22,34]. The functional form of the residual stress
expression generally contains an exponential decay term for the
compressive residual stress [22,34]. Incorporating the tensile
residual term may require a uniform stress or a sinusoidal term [34].
For simplicity, an exponential decay function is used to describe both
the compressive stress (�c) and tensile stress (�t) components in the
residual stress profile. This expression is given by

�RS ���c
�
x

b

�
c

exp

�
� x � a

b

�
� �t exp

�
� x
d

�
(4)

in which �c, �t, a, b, c, d are empirical constants evaluated from
experimental data of residual stresses. To determine the constants,
the values of �c, a, b, and c are evaluated for a given compressive
stress profile. Subsequently, the tensile stress profile is determined as
one that balances the compressive stress values so that the net
residual stress is zero. On this basis,

�t � �c
�
b

d

�
exp

�
a

b

�
��1� c� (5)

in which ��1� c� indicates the value of the gamma function with an
argument of 1� c. The decay distance d is evaluated by fitting
Eq. (5) to match the experimental tensile stress distribution. The
residual stress profiles associated with these constants are compared
against the experimental data in Fig. 2. Goodness of fit values (i.e.,
R2) for the least-square fits are 0.9358 or better with a standard error
that is 0.0823 or less, as shown in Table 1.

IV. Probabilistic Crack Growth Life

Given an initial anomaly in a rotor disk subjected to variable
amplitude loading, the stress intensity factor K increases with
increasing number of flight cycles. Failure occurs when the
maximum K exceeds the fracture toughness Kc:

g�X;Y; N� � KC � K�X;Y; N� � 0 (6)

g�X;Y; N� is dependent on two general input variable vectors (X, a
vector of input variables unrelated to inspections, and Y, a vector of
input variables related to inspections):

g�X;Y; N� � g�X1; . . . ; Xn;Y1; . . .Ym;N� (7)

A negative or zero g�X;Y; N� represents a failure event. The
probability of fracture is

Pf � P�g�X; Y; N� � 0� (8)

The crack growth rate values can be obtained using a NASGRO
equation [35] fit of the material data. The NASGRO equation
describes all three regions of the large-crack FCG curve and is
given by

da

dN
� C

�
�1 � f��K

1 � R

�
n �1 � �Kth

�K
�p

�1 � Kc
Kmax
�q

(9)

The parameter p is an empirical constant describing the large-
crack threshold region,�Kth, and the parameter q describes the fast
fracture region in which the maximum K, Kmax, approaches the
critical stress intensity at fracture,KC. The parameter f is the ratio of
Kop=Kmax, in which Kop is the stress intensity factor at which the
crack tip is fully open. The presence of a compressive residual
increases Kop and thus reduces the effective �K, which is the
difference between Kmax and Kop. The value of f is computed using
the Newman crack-closure model [35].

V. Application to Aircraft Engine Disks

The probabilistic methodology was applied to an actual military
engine disk under real life loading conditions. A finite element
analysis was performed to obtain the contact forces which were
converted to stress values and applied to assess the risk of fracture and
risk reduction associated with surface treatments.

A. Contact Stresses

A FEM analysis of the disk–blade assembly was carried out to
obtain contact forces and moments along the disk–blade interface
associated with applied inertial and static aerodynamics forces on the
airfoil. Because the complex geometry of the fan blade, quadratic
tetrahedral elements were used for the associated finite element
mesh. A refinedmesh offirst-order hexahedral elements was used for
the dovetail portion of the fan blade and the disk [36]. This element
type was selected for its superior performance in the contact
interface.

The final mesh for the disk–blade assembly and for the interface
region between the dovetail portion of the blade and the disk is shown
in Figs. 3a and 3b. The dovetail is aligned along the axial direction of
the engine. A single blade and section of the diskweremodeled using
cyclic symmetry to represent the entire rotor. The model was solved
using the ABAQUS software using a surface-to-surface contact
formulation [37] with a coefficient of friction among surfaces
analyzed. Figure 3c is a front viewof the disk sector in themodelwith
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Fig. 2 Comparisons of residual profiles produced bySP, LSP, andLPB

and model calculations fitted to experimental data [21].

Table 1 Material constants for LPB, LSP, and SP residual stress profiles

Process a, mm b, mm c �c, MPa �t, MPa d, mm ��1� c� R2 Standard error

LBP 3:08E � 01 3:87E � 01 4:63E � 01 860 2:61E� 01 25:0E� 00 8:86E � 01 0.9358 0.0823
LSP 0:00E� 00 8:42E � 01 0:00E� 00 520 8:76E� 00 5:00E� 01 1:00E� 00 0.9811 0.047
SP 3:39E � 02 7:88E � 02 7:88E � 02 1100 2:41E� 01 5:00E� 00 9:06E � 01 0.9979 0.025
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the blade attached showing external forces and boundary conditions.
External forces include: 1) the centrifugal force due to rotational
speed� applied to all elements of the model and 2) the aerodynamic
forces applied to the airfoil nodes (represented in Fig. 3 by force F
and moment M). The cyclic symmetry of the sector model was
enforced by introducing boundary conditions based on the constraint
equations at the cut surfaces of the disk sector (represented as sectorS
boundary conditions in Fig. 3). Note that a single node on the
underside of the disk sector was fixed in the axial direction to prevent
rigid body motion. The initial crack location and associated
propagation path are shown in Fig. 3d.

Contact forces were identified using Eqs. (1–3). Note that the units
for the contact forces are force per unit thickness andmoment per unit
of thickness in which thickness was the material associated with a
single slice through the FE model. The Q versus P history for a
representative slice is shown in Fig. 4. The FEManalysis results were
also used to estimate the bulk stress values, defined as the stress in the
component in the absence of the local contact stresses (i.e., the stress

due to the inertial load of the disk only). To obtain the bulk stress
values, the multi-axial components of stress were extracted from the
FEM results along a path perpendicular to the contact interface
starting at the edge of contact. This path is shown in Fig. 3b as a
dashed line on both the high-pressure and low-pressure side of the
dovetail slot.

Stress values were extracted from the FEM results for each load
increment. An example is shown in Fig. 5, in which x is parallel to the
contact surface in the plane of the slice, y is in the direction of the
path, and z is out of the plane in the axial direction of the slot, as
shown in Fig. 3b. As expected, the crack opening stress �xx was
clearly the dominant component of stress (although it included some
influence from the contact interface). This stress gradient, however,
could not simply be used as the contact stress because it was not
converged. The contact stress at the edge of contact had a very high
and localized elastic peak that could not be captured in a three-
dimensional FE model due to the unachievable mesh refinement and
computational time requirements to do so. Instead, the FE results
were used to capture only the bulk stress portion of the total stress
results and, therefore, the near surface portion was ignored and the
remainder was linearly fit and extrapolated back to the surface to
obtain�bulk. This approach appears to provide reasonable results. The
other multi-axial components of stress were not included in this
analysis since they were relatively small.

The simplified mission profile described earlier (0, 110, 50, 110,
72%) was used for the finite element analysis for two reasons: 1) to
limit the computational time needed for the analysis and 2) because
the aerodynamic loads were only available at those speeds. The
actual mission for the component of interest was more complex than
the one used in the FE analysis. It was represented using the com-
posite mission shown in Fig. 6, which consists of 32 speed reversals
and includes both major and minor reversals.

Fig. 3 Finite element model of disk–blade interface subjected to

fretting fatigue: a) higher-order tetrahedral elements used to model the

complex geometry of the fan blade, b) refined mesh of first-order

hexahedral elements used for the dovetail portion of the fan blade and
disk, c) diagram showing the external forces and boundary conditions,

and d) initial crack location and associated propagation path.
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Amethod was needed to predict the contact forces and bulk stress
for this mission given the results of the FEM analysis, such as the
method developed by Gean and Farris [30]. In general, the pre-
dictions could incorporate changes in both speed and temperature.
However, the diskwas assumed to be under isothermal conditions, so
stress values associated only with speed changes were considered.
The moment remained small and constant with speed for all the
dovetail slot slices considered. Also, it was found that the bulk stress
was nearly proportional to the square of the speed, so the discussion
will be limited to P and Q.

Several constraints were applied to predict the P and Q history
given the speed history and are included as Eqs. (10–12).P andQ are
subscripted with the index i, since the equations applied to individual
slices. As indicated in Eq. (10), the sumof the radial components ofP
and Q times their slice thickness t must equal the total radial force
applied by the blade. This blade force is proportional to the square of
the rotor speed �:

Fblade �
X
�ti 	 �Pi cos ��Qi sin ��� / �2 (10)

The relationship among blade forces and rotor speed is shown
conceptually in Fig. 3c. An example prediction of Q versus P is
shown in Fig. 7 for the mission shown in Fig. 6. Initially, the blade
“slides out” in the slot due to the frictional shear force exceeding that
required for slip and following the dashed line defined by

jQij � �Pi (11)

Next, the speed decreases but the blade remainswedged or stuck in
place and theQ versus P path follows the slope � down as described
by Eq. (12):

�Qi � �i�Pi (12)

If the speed decreases enough, however, the blade will become
unstuck and “slide in,” which is shown by the lower dashed line in
Fig. 7. When speed increases again, P andQmove up along slope �
until the upper dashed line is reached then the blade again slides out.

The CAPRI [31] and WCF [32] models were used to compute the
contact stresses associated with a blade fretting on a disk. The input
parameters to both models included the Young’s modulus (E�
107 GPa), Poisson’s ratio (�� 0:33), coefficient of friction
(�� 0:7), pad radius (4.955 mm), and the length of the flat pad
(6.466 mm). The normal forces P and tangential forces Q on the
contact surfaces, as well as the bulk stresses S in the disk, were
obtained from thefinite element analyses of the blade–disk assembly.

The pressure and tangential loads for individual steps of a mission
as given by FEM analyses were used to compute the contact stresses
at the trailing edge of contact for various depths beneath the contact
surface. The contact stresses were then summed with the bulk stress
to obtain the total stress profile along a specified direction. For
illustration, the computed total stress profiles for the high-pressure
side (Hi01) at load step 1 and 2 of the mission are presented in Fig. 8.

Load step 1 resulted in a tensile stress at the trailing edge of contact
because of a positive (clockwise) shear force, while step 2 resulted in
a compressive stress due to a negative (counterclockwise) shear
force. The stress profiles associated with the remaining load
increments were different in magnitude but similar in shape to the
profiles illustrated in Fig. 8 (they were not included due to paper
length limitations). In theWCFcomputations, themoments acting on
the blade were ignored, whereas the CAPRI computations included
the moments. For both load steps, the total stresses computed by
CAPRI and WCF were essentially identical except near the edge of
contact on the surface (y� 0), as shown in Fig. 8. The WCF
formulation predicted slightly higher stresses near the edge of contact
surface at a distance less than 5 �m from the surface. This was
probably due in part to ignoring the contactmoment. At a crack depth
of about 1.5mm, the contact stress diminished to very low values and
the total stress equaled the bulk stress.

B. Model Calibration

When failure data are available, the probability of fretting failure
can be estimated from a direct fit of the data. However, to quantify the
influence of inspection, a physics-based probabilistic model is
required to estimate the random sizes of propagating cracks. The
probabilistic model can be calibrated to match the component failure
data, and can be used to quantify the influence of surface treatments
on the probability of fracture.

Information regarding a number of random variables is typically
required to perform a probabilistic fracture assessment. These
variables can be categorized into six primary groups related to the
size and location of the initial crack, variability associated with
applied stress values and crack growth lifemodels, and uncertainty in
the frequency and quality of nondestructive inspection [3,35]. For
this example, data were not available to characterize these variables.
However, previous depot inspections revealed premature cracking in
some disks, shown in Fig. 9a. For the calibration process it was
assumed that the scatter in themeasured crack areaswas solely due to
the variability in the fretting stress. A fretting stress scatter random
variable was introduced to account for this uncertainty. Using the
stress values from the FE results, crack area versus flight hour values
were computed using the DARWIN probabilistic fracture mechanics
software [35]. To quantify individual values of the fretting stress
scatter random variable, deterministic fretting stress bias values were
applied to the FE stress values and adjusted so that the crack areas
computed using DARWIN were identical to the measured crack
areas. The distribution of the resulting fretting stress scatter variable
is shown in Fig. 9b, in which it was assumed that this variable was
lognormally distributed.

To calibrate fracture risk, the anomaly occurrence rate was set
equal to the ratio of the number of cracked disks to the total number of
disks in the population. The probability of fracture was computed
using DARWIN based on the stress values from the FE results, the
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calibrated fretting stress scatter factor, and the calibrated anomaly
occurrence rate. The crack growth lives of the measured cracks were
estimated from theDARWIN results shown in Fig. 9a. The results are
shown in Fig. 10. Also shown in Fig. 10 are Weibull and lognormal
distributions based on the estimated crack growth lives associated

with the measured cracks. There was reasonable agreement among
the lives estimated from failure data with the probabilistic fracture
risk estimates, as expected.

C. Influences of Deterministic Residual Stress Values

The influence of residual stresses associated with LPB on the risk
of fracture of an engine disk was investigated using the calibrated
model described in the previous section. It iswell known that residual
stresses may relax over time due to temperature, overloads, or
applied fretting stresses. The �c parameter of Eq. (4) was adjusted to
low (350 MPa), medium (550 Mpa), and high (750 MPa) values to
illustrate several residual stress profiles resulting from various
degrees of relaxation, shown in Fig. 11. These values were combined
with the FE fretting and bulk stresses (Fig. 12) and applied to fracture
risk assessment. The results are shown in Fig. 13, in which it can be
observed that the risk reduction is substantial for the medium and
high �c values. Even the low value of �c provides a substantial risk
reduction in the early stage of life, which suggests that the residual
stress influence can be of some benefit after significant relaxation has
occurred.

One of the objectives of this study was to quantify the influence of
inspection on the probability of fracture. Two nondestructive
inspection techniqueswere considered: eddy current, andfluorescent
penetrant inspection (FPI). The probability of detection curves for
the selected inspection methods are shown in Fig. 14. The influence
of FPI inspection performed every 2000 flight hours is shown in
Fig. 13, in which it can be observed that the risk reduction is
substantial, particularly when surface treatment is performed. It is
interesting to note that when the inspections are performed, the risk
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reduction associated with the various residual stress curves are very
similar, which again indicates that the surface treatment can be
beneficial even when substantial relaxation has occurred.

D. Influences of Random Residual Stress Values

The influence of random residual stresses associated with LPB on
the risk of fracture was also investigated. The �c parameter of Eq. (4)

was modeled as a lognormal random variable with a median value of
350 MPa and coefficient of variation (COV) values of 10, 20, and
30%. Residual stress profiles (Fig. 15) were combined with the FE
fretting and bulk stresses (Fig. 16) and applied to fracture risk
assessment. The results (Fig. 17) show that risk reduction is nearly
identical for the three substantially different COV values, both with
and without inspection.
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E. Influences of Random Bulk Stress Values

The probabilistic model was calibrated assuming that bulk stress
was a deterministic quantity. However, since it is expected that the
bulk stress may be random, the influence of random bulk stresses on
the risk of fracturewas also investigated.A bulk stress scatter random
variable was introduced as a lognormal random variable with a
median value of 1.0 and COV values of 5, 10, and 15%. Bulk stress
profiles associated with this variable are shown in Fig. 18. These
values were combinedwith the FE fretting and bulk stresses (Fig. 19)
and applied to fracture risk assessment. The results (Fig. 20) show
that risk is somewhat sensitive to the bulk stress COV value, and is
dependent on the design life value.

VI. Conclusions

An approach was presented for estimating the risk reduction
associated with surface treatments of aircraft engine components
subjected to fretting fatigue. The approach centered on the estimation
of contact stress values associated with fretting in the disk–blade
interface of a typical gas turbine engine. Initial fracture risk results
suggest that surface treatments have the potential to significantly
reduce the probability of fracture associated with fretting fatigue for
the range of values considered under this study, particularly when
combined with nondestructive inspection. Further investigation is
required to assess the influences of additional factors such as
dynamic loading effects.
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